Indentation tests can be used to characterize the mechanical properties of bone at small load/length scales offering the possibility of utilizing very small test specimens, which can be excised using minimally-invasive procedures. In addition, the need for mechanical property data from bone may be a requirement for fundamental multi-scale experiments, changes in nano-and micro-mechanical properties (e.g., as affected by changes in bone mineral density) due to drug therapies, and/or the development of computational models.
Introduction
Damage causes a progressive degradation of material continuity, which distinguishes it from other types of inelastic material behavior (Kachanov, 1958; Lemaitre and Chaboche, 1990) . The loss of integrity can have an adverse effect on mechanical properties, and can be attributed to microscopic cracks and/or voids. Continuum damage theories have been applied to indentation and contact mechanics of various materials, including metals, ceramics, glass, paper, and ice (Lee et al., 2006a (Lee et al., ,b, 2008 Sun and Khaleel, 2004; Sun et al., 2005; Hägglund and Isaksson, 2007; Licht et al., 2003; Das et al., 2009 ). Bone tissue, as a composite material, contains initial voids and other non-homogeneities (Frost, 1960) that are naturally occurring and distinct from damage. However, when subjected to mechanical loading, such as indentation, damage accumulation may occur. Numerous investigations have been performed, seeking to characterize damage in bone based on property degradation via histological observations as well as acoustic emission (Kohn, 1995; Enoki and Kishi, 1991; Wright et al., 1981; Fischer et al., 1986; Inoue et al., 1986; Jonsson and Eriksson, 1984) . Keaveny et al. (1994) measured the changes in modulus and strength for bovine trabecular bone loaded in compression to various strains beyond its elastic range, and found that modulus was reduced for all applied strains, whereas strength was reduced only for certain strain levels; thus the modulus was always reduced more than strength. These results agree with those for cortical bone in tensile loading, supporting the conclusion that the damage behavior of cortical and trabecular bone is similar for low strains. Archdeacon et al. (1996) investigated the relationship between loading rate, relaxation time, and damage accumulation in torsion for bovine cortical bone, showing that rate dependent reductions in strength are due to time dependent damage accumulation, and that damage accumulates nonlinearly with time. Jepsen and Davy (1997) studied the damage process on human cortical bone specimens subjected to a series of torsional relaxation cycles, and determined the effects of damage on the elastic, yield, viscous, and failure properties of cortical bone. Vashishth et al. (2002) performed bending tests to obtain the effects of damage morphology on bone fragility by determining the relationships between damage morphology, nano-indentation properties, and fatigue behavior of bone. They noted that bone tends to form organized linear micro-cracks, not diffuse damage, which contributes to bone quality, and also gave evidence for different stiffness changes in younger and older bone specimens responding to fatigue. Diffuse damage, however, may occur during smallscale indentation tests due to damage to the mineral-mineral and mineral-collagen network. Kotha and Guzelsu (2003) conducted tensile tests on bovine bone samples to characterize the effects of damage on the mechanical behavior of decalcified samples and bone tissue, and suggested that damage in bone is caused by shear failure of the organic matrix.
In addition to the aforementioned experimental studies, damage models for bone have also been proposed. Ramtani and Zidi (2001) developed a theoretical model of the competition between damage and internal remodeling, and derived a damage force that defines the onset of damage and drives damage propagation. Niebur et al. (2000 Niebur et al. ( , 2001 ) developed a non-linear high-resolution finite element analysis technique for failure analysis of trabecular bone and assessed the sensitivity of tissue level yielding to the assumed tissue yield properties and apparent loading conditions. Additional models have been developed addressing damage accumulation (Carter and Caler, 1985) , changes in strength and stiffness after fatigue loading (Carter and Hayes, 1977) , remodeling (Hart et al., 1984) , the extent of bone ossification during loading (Prendergast and Huiskes, 1996) , and cyclic overloads (Garcia et al., 2009) .
Damage accumulation is a normal response of composite materials to mechanical loading. It is this damageability that contributes to the superior fatigue resistance and toughness of composite materials compared to monolithic materials (Reifsnider, 1991) . In bone, the presence of damage also has a biological consequence. Since micro-cracks exist at some volume in normal, healthy bone, they may play a role in the turnover process as well as adaptive behavior (Martin and Burr, 1982) . Histological evidence indicates that damage occurs at the micro-structural level. Elastic-plastic finite element simulations of bone indentation have been performed (Zhang et al., 2008; Ovaert et al., 2003; Wang and Ovaert, 2009; Fan et al., 2004; Tai et al., 2006; Mullins et al., 2009) , however, the incorporation of continuum damage mechanics as a result of indentation has received little if any attention. Thus, the ability to simulate the indentation behavior of bone and to parameterize its damage response during indentation may provide greater insight into its small-scale deformation mechanics, remodeling, changes in diffusivity and conductivity, and ultimately its potential response to drug therapies. The objective of this paper, therefore, is to model the indentation behavior of bone using a plastic-damage model, and to assess the application of the model parameters to the study of bone tissue mechanics.
2.
Materials and methods
Materials and experiments
The experimental and test specimen details have been discussed previously in Zhang et al. (2008) . Two bone specimens approximately 15 × 8 × 2 mm thick were dissected from monkey vertebrae. The first was placebo-treated and shamovariectomized. The second was placebo-treated and ovariectomized, both from female cynomolgus monkeys. Additional details on the monkey specimens may be found elsewhere (Lees et al., 2002) . All specimens were dehydrated in a series of alcohol baths and embedded in epoxy resin at room temperature; and subjected to the same cleaning and mounting protocol, and polished using silicon carbide abrasive papers and diamond paste to an approximate (center-line-average, R a ) surface roughness of 0.05 µm, necessary for repeatable indentation results. Taguchi orthogonal arrays were used to design the experimental test matrix. A typical load vs. indentation depth curve (100 mN maximum load, 50 mN/s loading/unloading rate, 10 s hold time) along with an optimized fit from the four-parameter visco-elastic/plastic model discussed in Zhang et al. (2008) is shown in Fig. 1 . Note that the four-parameter model, a modified Kelvin-Voigt model incorporating a linear dashpot in parallel with a Ramberg-Osgood (elastic-plastic spring) strain decomposition, closely simulates the loading, creep, and initial unloading slope (a viscoelastic event), however, near the end of the unloading cycle, as the bone stiffness decreases, the simulation error increases. This phenomenon is not a result of tip-surface contamination or other test artifact, and most notably has been observed by others when indenting bone (Tai et al., 2005; Pelled et al., 2007; Hoffler et al., 2005) . In order to further investigate the results from the damage model simulations, additional bovine cortical bone indentation tests were performed. Bovine cortical bone was used since it was not possible to cross-section the original monkey specimens (Zhang et al., 2008) . Samples of cortical bone from the mid-diaphysis of a bovine tibia were harvested and machined into rectangular test specimens 15 mm × 17 mm × 5 mm using a diamond saw (Buhler Inc., Lake Bluff, Il). The specimens were then cut in half (length-wise), and adhered (cyanoacrylate adhesive) to the lapped and polished surface of a 25 mm diameter steel washer, butting the two saw-cut faces together as closely as possible. Due to the saw cutting process, the faces incur a finite edge "radius" on the order of 10 µm. Thus, the near-surface gap of the two halves was approximately 20 µm. The nanoindenter tip radius is much smaller (0.1 µm), thus, a larger tip was used, at a higher applied load, in order to negate the effects of the near-surface gap. This prohibited an exact comparison to the damage model predictions, however, it did enable a qualitative examination of the damage field in the subsurface indent zone. This procedure was followed, rather than indentation followed by polishing until the cross-section of an indented region was exposed, since polishing could result in additional non-indentation-related damage to occur, overshadowing the damage induced by indentation alone.
Prior to testing, specimens were thawed for a 12 h period, then submersed in a 20 mL solution of 0.0005 M alizarin red stain, and stored under vacuum for 24 h in order to label any pre-existing damage. Indentation tests were then performed using a 250 µm radius (approximate) conospherical tip, at an applied normal load of 14 N. Following indentation, specimens were stored under vacuum for 12 h, and then submersed in a 20 mL solution of 0.0005 M calcein stain, which labeled any microcracks and diffuse damage that occurred due to indentation. The bone was then sectioned into 0.5 mm thick wafers, and the indent cross sections were examined using fluorescence microscopy (O'Brien et al., 2003) .
Finite element simulation
The plastic-damage model applied in this work is based on the notion that elastic stiffness degradation is isotropic, embedded in the plasticity model, and characterized by a scalar damage variable, as proposed by Lubliner et al. (1989) and Lee and Fenves (1998) . Numerous other damage models have been proposed (see Grassl and Jirasek (2006) , Contrafatto and Cuomo (2006), and Menzel et al. (2005) for example), especially for analysis of the failure of quasi-brittle materials such as concrete. The model is implemented within the ABAQUS TM finite element solver, and is primarily intended to provide a general capability for the analysis of concrete structures and other quasi-brittle bone-like materials such as concrete. The main failure mechanisms for this model are cracking in tension and crushing in compression. Based on the notion that bone is quasi-brittle, having certain material characteristics such as micro-structural heterogeneities (pores, micro-cracks, etc.), different failure strengths in tension and compression, and strain rate sensitivity (Hansen et al., 2008) , an attempt was made to apply the aforementioned plastic-damage model to bone indentation data. An axisymmetric (rigid) 140.6 • conical indenter was used to model the diamond indenter since it approximates the Berkovich shape with the same projected area-to-depth ratio.
A typical mesh consisted of approximately 1800 axisymmetric 4-node elements, as seen in Fig. 2 .
Plastic-damage model
The plastic-damage model of Lubliner et al. (1989) and Lee and Fenves (1998) assumes that damage progresses under both compressive and tensile loading. In blunt indentation, however, tensile cracking is typically locally restricted to narrow bands at the contact edge. Accordingly, its contribution to the reduction in the overall load carry capacity is assumed to be of minor order and damage is attributed exclusively to compression. Attributing stress-strain constitutive behavior to a material's compression response, in the context of sharp indentation (e.g., blunt cones, Vickers, and Berkovich), has also been noted by Dao et al. (2001) and Chollacoop et al. (2003) . In order to test this hypothesis, the equivalent plastic strains in compression and tension were determined using an elastic/perfectly-plastic symmetric material test model, as shown in Fig. 3 . In Fig. 4 (a), one can see that the equivalent plastic compressive strains are located beneath the indenter. The unusually large values immediately beneath the tip of the indenter are due to the singularity at the (sharp) punch tip. On the other hand, the equivalent plastic tensile strains (Fig. 4(b) ) are localized near the edge of contact (where they exhibit only a small influence at the beginning of the unloading period) and they are approximately one order of magnitude lower than their compressive counterpart. Therefore, based on these results, damage behavior was attributed exclusively to compressive loading. In what follows, we will briefly summarize the constitutive equations of elasto-plastic damage for cohesive frictional materials based on the model of Lubliner et al. (1989) refined by Lee and Fenves (1998) . With the assumption of geometrically linear kinematics, the strain tensor ε can be additively decomposed into an elastic and a plastic part:
Following the classical effective stress concepts of continuum damage theory, the effective stressσ 
where E el is the elasticity tensor parameterized in terms of Young's modulus E and Poisson's ratio ν, which were set at 18.6 GPa (Zysset et al., 1999) and 0.3, respectively. The elastic domain is bounded by a hyperbolic DruckerPrager type yield function F: Here,p = 1/3σ : I is the effective hydrostatic pressure and q = (3/2)σ dev :σ dev is the effective equivalent von Mises stress expressed in terms of the effective deviatoric stress σ dev =σ −pI. Plastic hardening is reflected through the yield stress Y:
which is a function of the effective uniaxial tensile and compressive failure stresses,σ c andσ t , respectively, and of the maximum eigenvalue,σ max , of the effective stressσ
are the Macauley brackets, such that under plain compressive loading withσ max < 0 the second term vanishes and the yield stress simply reduces to Y = [1 − α]σ c . The size of the failure surface is governed by the coefficient, α:
which can be expressed in terms of the ratio of the equibiaxial and uniaxial compressive yield stress σ b0 /σ c0 . The constant σ b0 is obtained when two of the principal stresses are equal; for example, in the triaxial confined compression test, where a cylindrical test specimen (compressed along its major axis) is submerged in a confined fluid under pressure.
At high pressure, particularly for materials such as concrete and soils, σ b0 can exceed σ c0 , the nominal (or unconfined) compressive yield stress, due to a "strengthening" effect from the confinement pressure. Following Lubliner et al. (1989) , we choose a σ b0 /σ c0 = 1.125, thus α = 0.1. The set of equations is complemented by the Kuhn-Tucker conditions Fλ = 0,λ ≥ 0, and F ≤ 0 and the consistency conditionsḞλ = 0. Cohesive frictional materials such as bone display a non-associated plastic flow defined through a plastic potential, G, which is assumed to be of hyperbolic Drucker-Prager type, given by:
Again,p andq are the effective hydrostatic pressure and the effective equivalent von Mises stress, respectively, and ψ denotes the dilation angle. This angle represents the volume change during (non-associated) plastic flow. In general, smaller angles are associated with softer materials, and the opposite for harder materials. Following Lubliner et al. (1989) , the dilation angle generally ranges from 15 • to 30 • , and based on similar values for bone in the literature (Phillips et al., 2003) , we chose a value of 22.5 • in our simulations. The evolution of the plastic strains ε pl is governed through the flow rule:
The evolution of damage d and the effective uniaxial tensile and compressive failure stressesσ c andσ t are governed by the equivalent plastic strain κ c and κ t in compression and tension, respectively.
In tension and compression, κ c and κ t evolve with respect to the minimum and maximum eigenvalue of the plastic strain ε pl min and ε pl max , respectively. They take the maximum absolute value that the corresponding eigenvalue has obtained throughout the entire loading history as:
which implies that κ c and κ t can never decrease. Obviously, the stress weight factor
is equal to one if all principal stresses σ I are positive, and is equal to zero if they are all negative. Finally, we apply a viscoplastic regularization of Duvaut-Lions type for the equivalent plastic strains κ c and κ t and for the damage variable d.
Here, we have introduced the viscosity parameter µ, which represents the relaxation time of the visco-plastic (vp) material; d, κ c , and κ t correspond to the inviscid case. In the limit of small µ, i.e., as t/µ → ∞, the solution of the viscoplastic system relaxes to the inviscid case.
A simplified compressive stress-strain representation of the key parameters in the plastic damage model may be seen in Fig. 5 . Note that the model also assumes that damage initiates after the compressive yield stress occurs. Thus, the simulations do not account for any initial damage state or damage initiation during the elastic loading regime. 
Results

Fit to experimental data
As noted in the previous section, several parameters were chosen based on suggested values in Lubliner et al. (1989) . By doing this, we can assess the general applicability of the plastic-damage model as a potential tool for representation of bone indentation data. When fitting the model to the experimental data, an integral step is the creation of a representative function which relates the scalar damage variable, d c , to the equivalent plastic strain, κ c , as well as the selection of the post-yield plastic hardening curve after the initial compressive yield stress, σ c0 , is reached. Based on the results of Niebur et al. (2001) , which showed only a small increase in post-σ c0 compressive stress (approximately 2%), we assumed perfect plasticity in compression, and set σ c0 equal to 100 MPa, which is representative of published data for macro-scale tests (Hansen et al., 2008) . The damage evolution equation couples the equivalent plastic strain to the field equations. In general, damage accumulation can occur under elastic deformation (fatigue), elastic-plastic deformation (ductile plastic damage), or under creep conditions (creep damage). In more complex cases, d can assume the form of a vector function or fourth order tensor (Kachanov, 1986) . Here, we assume the simple case where d is a scalar function of the equivalent plastic strains. Several functional representations for this evolution equation have been proposed for ductile and brittle materials. For example,
represents a linear damage evolution equation governed by κ i , the threshold equivalent plastic strain for damage initiation, and κ 0 , the limiting equivalent plastic strain in the fully damaged state. Another form,
represents an exponential decay in stiffness, governed by two additional parameters γ and β. Since we assume that damage does not exist at zero equivalent plastic strain, a modified two-parameter exponential equation of the form, Table 1 . was used to model the damage evolution for bone. In this equation, γ represents the limiting value of d c while β governs the rate at which d c approaches this limiting value. The shape of Eq. (14) suggests that in bone, damage increases quickly at relatively low κ c (<0.10), and then tends to level off for higher values of κ c . This suggests that damage is likely to initiate early in the loading cycle, especially near the indenter tip. A range of γ and β values input to Eq. (14) may be seen plotted in Fig. 6 . Using the collective results of the fitted parameter values listed in Table 1 , the plastic-damage model can closely simulate a typical bone micro-indentation experimental curve, as shown in Fig. 7 . Note that the model fits all stages: loading, holding, as well as initial and final unloading. Fig. 8 shows a contour plot of the scalar damage variable, d c , at the point of maximum indentation depth. The plot of d c follows a typical distribution of subsurface shear stress contours beneath a cylindrical or spherical indenter as noted in Johnson (1985) .
The plastic-damage model was also used to correlate the measured stiffness reduction, which is prominent characteristic of the unloading curve in Fig. 1 
Thus, the modulus is proportional to the unloading stiffness, and based on the plastic-damage model, also proportional to d c . In Fig. 7 , the measured initial and final A typical indent cross section on bovine cortical bone, partitioned along the centerline of the indenter axis, can be seen in Fig. 10 . Calcein stain labeling is most prevalent in the region beneath the indenter tip, in qualitative agreement with the damage zone prediction in Fig. 9. 
Investigation of model parameters
In order to visualize the effects of changes in the parameter values on the load vs. indentation depth simulation, the parameter values were varied individually. The results can be seen in Figs. 11-13. Fig. 11(a) shows the effect of changing the dilation angle, Ψ , and one can see that larger values of Ψ increase the slope of the loading curve, decrease the final indentation depth, and increase the creep displacement. In Fig. 11(b) , the effect of changing the σ b0 /σ c0 ratio is shown. Larger values of σ b0 /σ c0 increase the slope of the loading curve, decrease the final indentation depth, and have a negligible effect on the creep displacement. Fig. 12(a) shows the effect of changes in the compressive yield stress, σ c0 . As σ c0 increases, the slope of the loading curve increases, and the creep displacement and final indentation depth decrease. Fig. 12(b) shows the effect of increasing Young's modulus, E el . As the modulus increases, the slope of the loading curve increases, the creep displacement increases, and the final indentation depth remains relatively unchanged. Fig. 13(a) shows the effect of changing the relaxation time parameter, µ. As µ increases, the loading slope and creep displacement also increase. The final indentation depth is relatively unaffected. Fig. 13(b) shows the effect of parameter changes in the damage evolution equation (Eq. (14) , and from Fig. 6 ). As γ increases at constant β, the slope of the loading curve and final indentation depth decrease, and the creep displacement remains relatively unchanged. As β increases at a constant γ, the slope of the loading curve decreases, the creep displacement remains relatively unchanged, and the final indentation depth decreases slightly.
The sensitivity of the damage model parameters was also investigated, to determine which parameters had the largest effect on the indentation simulation. Performing a sensitivity analysis on creep indentation can assume various forms. For example, one can compare the entire simulation curve with the entire experimental curve (loading, holding, and unloading), and compute an overall error (e.g., R 2 or similar) value. However, two simulations could potentially have the same R 2 value, yet display very different behaviors over the full loading path. For this reason, we chose to perform the sensitivity analysis by examining four important characteristics of a typical indentation curve: the initial indentation depth at maximum load (IID), the total creep displacement during the holding period (TCD), the final indentation depth at zero load (FID), and the final unloading slope (FS). Each of the seven parameters listed in Table 1 (excluding Poisson's ratio, which was fixed at 0.3) was varied approximately ±50%, with the exception of σ b0 /σ c0 (since ratios less than one are unrealistic) and γ (maximum value equal to one) from the fitted values noted in Table 1 . The percent change in the individual curve characteristics was then computed as a function of the percent change in the individual parameters. The results can be seen in Figs. 14 and 15. Fig. 14(a) shows the sensitivity of the IID to the simulation parameters. It can be seen that this characteristic is (nonlinearly) sensitive to all parameters, though to a lesser extent for Ψ , β, and µ. For these three parameters, changes of ±45% lead to roughly a 5% change in the IID. The parameters with the largest effect are σ b0 /σ c0 , σ c0 , γ, and E el . Increasing σ b0 /σ c0 has a very strong effect, as it elevates the "effective" compressive yield stress under confined compression, which creates a stiffening effect during loading. Similarly, as one decreases the compressive yield stress, the IID increases, since plastic deformation (which has a softening effect) occurs sooner during loading. In addition, decreasing γ decreases the IID. This is due to the nature of Eq. (14). With a smaller value of γ, the final value of d c will also decrease; thus, a lesser amount of damage occurs, which effectively a b Fig. 11 -Load vs. indentation depth curves, (a) as a function of Ψ ; (b) as a function of σ b0 /σ c0 . Other parameter values taken from Table 1. preserves, to a greater extent, the original (undamaged) stiffness. Finally, as one decreases Young's modulus, the IID also increases, reflecting the loss in contact stiffness. Fig. 14(b) shows the sensitivity of the TCD to the simulation parameters. It can be seen that this characteristic is sensitive to all parameters, though to a lesser extent for Ψ , β, and γ. The parameters with the largest influence are E el , σ b0 /σ c0 , σ c0 , and µ. Decreasing σ c0 has a very strong effect, since the material begins yielding sooner and large (percentage) changes in creep displacement will occur. Similarly, as one decreases E el and µ, the TCD decreases, due to contact stiffening and decreased viscous (decreased time constant) effects, respectively. Fig. 15(a) shows the sensitivity of the FID to the simulation parameters. It can be seen that this characteristic is sensitive to all parameters, with the exception of µ, which is relatively insensitive. The parameters with the largest effect are σ b0 /σ c0 , σ c0 , γ, and E el . Increasing σ b0 /σ c0 has a very strong effect, as it elevates the "effective" compressive yield stress under confined compression, creating a stiffening effect. A stiffer contact will then incur reduced FID. Similarly, as one decreases the compressive yield stress, the FID increases, since plastic deformation (which has a softening effect) occurs to a greater extent during loading (and holding), which results in a larger FID. In addition, decreasing γ increases the FID. Again, with a smaller value of γ, the final value of d c will also decrease; thus, a lesser amount of damage occurs, diminishing the rapid stiffness loss observed near the end of unloading. Finally, as one decreases Young's modulus, the FID also decreases, reflecting the loss in contact stiffness (see Fig. 12(b) ). Fig. 15(b) shows the sensitivity of the FS to the simulation parameters. Again, σ b0 /σ c0 , σ c0 , and E el have a strong influence on this slope; however, γ exhibits the strongest effect. Since γ limits the reduction in the stiffness due to damage, smaller values can increase the FS by a large percentage.
Discussion
Numerous hierarchical structural models for osteonal bone have been proposed in the literature (for example, see Lakes Table 1. (1993)). The models are similar in that they first define the structure of osteonal bone as originating from the double helix collagen molecule, with a length scale in the nm range, then progress to collagen fibrils (with interspersed hydroxyapatite crystals) on a scale of 100 nm. Next, the individual fibrils assemble into bundled collagen fibers, with a length scale in the 1 µm range. These bundled collagen fibers form a series of concentric lamella structures (on the order of 10 µm) as individual Haversian osteons, closepacked (on the order of 200 µm) in a configuration similar to that of unidirectional fibers within a composite matrix. The concentric lamella contain osteocyte lacunae and canaliculi, which are void-like structural defects. This structural scale, on the order of 10 µm, consisting of bundled collagen fibers, osteocyte lacunae, and canaliculi, is the pertinent scale of interest during micro-scale indentation. Evidence of this was shown in Fig. 8 , a contour plot of the scalar damage variable, d c , at the point of maximum indentation depth. Note that d c is greatest nearest the tip of the indenter and decreases both toward the edge of contact and at increasing depths, as expected.
The plastic-damage model was also used to correlate the measured stiffness reduction due to damage. The region directly beneath the indenter, which is the final region in contact with the indenter during unloading (Fig. 9, bottom) , also displays an average d c value in good agreement with the contact stiffness reduction noted previously. Based on these results, the incorporation of damage effects in addition to the previously-assumed elasto-plastic behavior seems to be essential to capture the characteristic response of bone during indentation, particularly during the latter stage of unloading. In this study, dehydrated samples were used, however, it should be noted that the final parameter values in the simulations would be expected to vary depending on the type of bone tested, its susceptibility to damage, and level of hydration.
In order to further investigate the results from the damage model simulations, bovine cortical bone indentation tests were performed. A typical indent cross section, partitioned a b Table 1. along the centerline of the indenter axis, can be seen in Fig. 10 . Calcein stain labeling displayed qualitative agreement with the damage zone prediction in Fig. 9(bottom) . However, it is questionable as to whether or not calcein stain labeling is capable of displaying a color gradient, on the micro-scale, that would result in the appearance of d c contours in Figs. 8 or 9.
Changes in individual parameters, and the effect on the load vs. indentation depth curves, were also investigated. In general, the changes can be correlated to a generic "stiffening" or "softening" influence on the simulation curves. In addition, inference to a more rapid or slower onset of plastic deformation can also be used to interpret the results. Using the simplified plastic-damage model, a sensitivity analysis of the model parameters was also performed. The results showed that the model parameters exhibited a varying degree of influence on the indentation curve characteristics that were examined. The parameters that exhibited the greatest degree of influence were the compressive yield stress (contained in both σ b0 /σ c0 and σ c0 ), and Young's modulus, E el . The time constant, µ, exhibited little influence with the exception of the total creep displacement. The parameter γ influenced the final indentation depth and final slope, which is not surprising given that it limits the scalar damage parameter d c .
The question of the uniqueness of a parameter set is best proven mathematically, and given that this model contains seven parameters (eight including Poisson's ratio), it is unlikely that a single set of parameters could be expected to uniquely reproduce one of the four indentation response curve characteristics examined in this study. However, as in all multi-parameter models (e.g., multi-scale hierarchical computational material models of anisotropic materials), the utility of any model rests in the ability to input values for parameters that have experimental justification and still obtain reasonable results. The values we selected in Table 1 are reasonable and in some cases match experimentallydetermined literature values. Based on this, we feel that the simplified plastic-damage model is useful for simulating the mechanics of cortical bone indentation, and can capture trends and important features of the indentation response unlike any other model used previously in the literature. indentation cycles, and relating d c to changes in modulus or stiffness throughout the loading/unloading cycles. Future areas of investigation also include more detailed examination of the micro-mechanical mechanisms of damage during indentation, as well as correlation of d c with data on local bone mineral density in the region of the indents. Based on our preliminary studies, and the microstructural architecture of bone, we postulate that inelastic bone material properties are highly non-local. Similar to concrete and other microstructural cementitious materials, the experimentallyobserved response is assumed to strongly depend on the size of the indenter and indentation speed, or, mathematically speaking, on the ratio between the microstructural length scale and the size of the damage zone (Mahnken and Kuhl, 1999; Gitman et al., 2008) .
Conclusions
Indentation of bone has previously been assumed to result in both visco-elastic and plastic deformation. However, ordinary visco-elastic/plastic constitutive models based on linear or power law plastic hardening are not able to capture the complete unloading response during indentation of bone, particularly near the end of unloading, due to the decrease in stiffness. We hypothesize that the constitutive response of bone during indentation testing can be characterized through an elasto-plastic damage model commonly used for cohesive frictional materials such as concrete, mortar, or rock. Examination of the equivalent plastic strains in tension and compression for a (symmetric) elastic perfectly-plastic material model shows that tensile effects are localized primarily at the edge of contact and are an order of magnitude smaller than the equivalent plastic strains in compression, which are located directly beneath the indenter. This allows one to include only compressive damage to significantly reduce the parameter set.
A plastic-damage model, implemented via ABAQUS TM , using nominal values for its parameter set and an optimized curve relating the scalar damage variable, d c , with the equivalent plastic strains, κ c , exhibits good agreement with experimental data, particularly during unloading. A sensitivity analysis showed that the compressive yield stress, Young's modulus, and the limiting value of the scalar damage variable exhibited the strongest influence on the indentation response curve characteristics examined here. The predicted stiffness degradation at the end of unloading, as a result of damage to bone at a microstructural level, is capable of explaining this characteristic in the unloading curve observed experimentally during the indentation of bone.
